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modeling and/or accelerated testing provides means to
ABSTRACT
This paper presents a solder joint engineering reliability
design and manufacture robust assemblies that will meet
model - Solder Reliability Solutions1 (SRS) - and its
product life requirements.
application to surface mount area-array and chip-scale
assemblies. The model is validated by failure data from
Modeling is a cost-effective way to estimate solder joint
thirty three accelerated thermal cycling tests, and test
reliability, although the implementation cost and resources
vehicles covering several generations of component,
required to run various models can vary by orders of
assembly and circuit board technologies and a variety of test
magnitude. Engineering reliability models using finite
conditions. The SRS model has been implemented as a PCelement analysis [2, 5] or classical mechanics [3, 6-9] have
based design-for-reliability tool that enables rapid
been developed that enable designers to build-in attachment
assessment of assembly reliability in the early stages of
reliability. While the above models, and others, can be
product development.
differentiated by the scope of their analytical capabilities,
needed user skills and computational requirements, the
Keywords: Solder joint fatigue, predictive modeling, designapproaches followed seem to converge. Common features
for-reliability, area-array / chip-scale assemblies.
of the above referenced models are:
•
INTRODUCTION - WHY BE CONCERNED?
Cyclic thermal stress conditions in surface mount assemblies
leads to solder fatigue. The problem is not new but
concerns are growing as advances in electronics packaging
place more demand on solder interconnect reliability [1-4].
With the advent of thin low-profile leaded packages,
leadless area array or miniaturized electronic packages,
some of the reliability issues associated with Leadless
Ceramic Chip Carriers (LCCCs) on organic substrates have
resurfaced. Design characteristics that may impact the
fitness-for-use of modern soldered assemblies are described
as follows:
•
•

•
•
•

Many packages are leadless while others have short
leads with limited compliance.
Their effective Coefficient of Thermal Expansion
(CTE) may be low because of the high silicon contents
of shrinking packages.
Area-array packages are increasing in size.
The assembled packages may have a low stand-off
height for miniaturization purposes.
Chip Scale Package (CSP) assemblies are very fine
pitch with micro-solder joints having smaller load
bearing or crack propagation areas than conventional
surface mount assemblies.

The reliability of modern soldered assemblies needs to be
looked at carefully, more so than with conventional surface
mount assemblies. Upfront reliability assessment using
1

•

Fatigue life predictions are based on a strain energy
criterion.
The models are validated by large databases of
accelerated test data for real electronic assemblies.

This paper presents the SRS model for eutectic or neareutectic assemblies.
The model was developed for
peripheral leadless and leaded soldered assemblies and has
since been extended to area-array [6] and CSP assemblies
[8]. SRS has been implemented as a PC-based application
that allows design and manufacturing engineers to focus on
design-for-reliability issues and problem-solving activities.
SRS MODEL
The model builds up on the previously published
Comprehensive Surface Mount Reliability (CSMR)
methodology [7, 9]. CSMR was re-engineered by Mei [3]
who further validated the basic approach with Thin Small
Outline Package (TSOP) test data. Innovative features in
SRS are:
•

•

Bending and stretching of parts (board and component)
is accounted for in the case of leadless assemblies.
These effects are important for leadless area-array
plastic packages and CSPs where the component
flexural compliance, which depends on the package
contents and construction, can provide for stress and
strain relief in the solder joints.
Inelastic strain energy is from complete hysteresis loops
with different dwell times on the hot and cold sides of
thermal cycles.

Solder Reliability Solutions™ is a registered trademark of EPSI Inc.
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•

•

The local mismatch stress/strain response is determined
from the combined and simultaneous action of
solder/board and solder/lead (or component) CTE and
modulus mismatches. The analysis uses a tri-layer
model which also accounts for the local effects of board
to lead (or component) CTE and modulus mismatches.
Fatigue life from component test vehicles is correlated
on a joint per joint basis.

CHARACTERISTIC LIFE SCALED FOR SOLDER
CRACK AREA (cycles/in2)
1E+5
1E+6
1E+7
1E+8
1E+9

Life Data Correlation

"dA/dN"
R. Darveaux
ISHM '93

The least squares goodness-of-fit correlation coefficient for
the data in Figure 1 is 0.965. Scatter is 2.3 times below the
centerline and 2.7 times above, which is typical of fatigue
and of similar amplitude as in other models. The model was
frozen as shown in Figure 1 and the correlation was later
validated with data from another fourteen experiments (see
MODEL VERIFICATION section). That is, the model is
supported by thirty three experiments. The slope of the life
data correlation is about -1, close to those of CSMR [7, 9]
and R. Darveaux’s crack growth model [2, 10]. Also shown
in Figure 1 is a straight line of inverted mean propagation
rates (“dA/dN”) from R. Darveaux ’s crack propagation
model [10]. Since the difference between mean and
characteristic lives is small, the fit of Darveaux ‘s crack
growth rate to the average crack propagation rates of SRS is
good. The two models are consistent and validate one
another.
The test vehicles and test conditions for the nineteen
experiments [11-15] that were used to develop the SRS
correlation include the following:

1
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Figure 1: SRS correlation of accelerated test data.
Figure 1 shows the SRS correlation of fatigue life data from
nineteen accelerated tests. The correlation gives joint
characteristic lives scaled for the solder crack area versus
cyclic inelastic strain energy:

α JOINT 6.149 × 107 × C
=
A
∆W 0.998

(1)

where:

•
•

•

•

αJOINT (cycles) is the characteristic life or cycles to
63.2% failures in the joint population.
A (in2) is the solder crack area for fully cracked,
electrically open solder joints (also the minimum solder
joint load bearing area).
∆W (lb.in/in3 or psi) is the cyclic inelastic strain energy
per unit volume obtained as the sum of strain energies
due to global and local CTE mismatches (see section on
hysteresis loops).
C is a model calibration factor. C equals 1 for the
centerline of the correlation band, 0.434 for the lower
bound, and 2.7 for the upper bound.

The parameter αJOINT/A (with units of cycles/in2) is the
inverse of an area crack propagation rate (in2/cycle) and is
interpreted as the number of cycles it takes for a crack, or
several micro-cracks, to propagate through a unit of solder
attach area.
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•
•

Components: LCCCs, Plastic Quad Flat Packs (PQFPs),
TSOPs, Ceramic Leaded Chip Carriers (CLCCs), Small
Outline Transistors (SOTs).
Boards: double-sided, multilayer, FR-4 or copper-cladinvar, with in-plane CTEs over the range 8 to 21
ppm/ºC.
Eutectic or near-eutectic (60 Sn-40 Pb) tin-lead solder.
Test conditions: mild (25 / 65ºC) to highly accelerated
(-55 / 125ºC), with dwell times from a few to 50
minutes. Test frequency was from 10 to 60 cycles/day
with often different dwell times on the cold and hot
sides of a thermal cycle.

Hysteresis Loops
Package
Neutral Axis

PACKAGE:
6 to 21 ppm/ºC
GLOBAL CTE
MISMATCH
SUBSTRATE:
6 to 21 ppm/ºC

COPPER: 17 ppm/ºC
ALLOY 42: 4.5 ppm/ºC
LOCAL CTE
MISMATCHES
SOLDER:
24 ppm/ºC

Solder Joint
Neutral Axis

Figure 2: Global and local CTE mismatches.
The inelastic strain energy in equation (1) is obtained as the
area of solder joint hysteresis loops during thermal cycling.
The SRS model uses simplified one-dimensional structural
models to estimate the solder joint stress/strain cycles due to
global and local CTE mismatches (Figure 2).
Global mismatch refers to shear deformations of solder
joints driven by thermal expansion differentials between
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component and board. Because shear strains are defined as
distortion angles, the shear deformation mode of leadless
solder joints accounts for both in-plane shear and bending of
the assembly. Local mismatch refers to deformations in the
solder joint due to lateral expansion differentials between
solder (24 ppm/ºC for near-eutectic tin-lead), board and
leadframe (17 ppm/ºC for copper leads, 5 ppm/ºC for Alloy
42 leads) or component material.
For global mismatch, the thermal expansion differential
between board and component is:
∆ G = LD ∆α G ∆T
(2)
and the largest possible shear strain at a corner joint is:
L
γ MAX = D ∆α G ∆T
(3)
hS
where LD is half the diagonal dimension of the component;
hS is an effective solder joint height (stand-off height for
column-like joints, or half-the solder paste thickness for
joints of leaded assemblies); ∆αG is the absolute value of the
component to board CTE mismatch; ∆T = T - TCOLD is the
temperature swing between the low temperature TCOLD on
the cold side of the cycle and the current temperature T (T =
THOT on the hot side of the cycle). During thermal cycling,
stress reduction is limited by the dwell period at T. The
thermal expansion differential ∆ is taken up by solder joint
shear deformations (strain γ) and elastic deformations of
compliant members of the assembly, that is:
τ
γ + = γ MAX
(3)
κ
where τ is the average solder joint shear stress and κ is the
slope of stress reduction lines [16, 17] during soaks at a
fixed temperature T (see Figure 3a).
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Figure 3a: Stress reduction lines,hysteresis loop calculation.
The slope κ is given as:
KhS
κ=
A
where:

•

The procedure that was developed to generate approximate
hysteresis loops (Figure 3a and 3b) is as follows.

Figure 3b: Closed hysteresis loop.
Step 1: starting at an arbitrary strain level γA (in the range 0
to γMAX) and zero stress (point A in Figure 3a) the solder
joint response during temperature ramp up is approximated
by time-independent plastic deformation. Stress builds up
along the path AB. Using the plastic flow rule due to
Knecht and Fox [20], the stress/strain relation along AB is:

 τ
γ − γA =  
 τP 

T
A

•

of a slice of the assembly of width the assembly pitch.
For leaded components, K is taken as the diagonal lead
stiffness of a corner lead, using lead stiffness models
developed by R. Kotlowitz [18, 19].
A is the minimum solder joint load bearing area in
shear, that is the minimum solder joint cross-section
parallel to the board. In most cases, A is also the solder
joint crack area, or fracture surface area, for an
electrically open, fully cracked solder joint.

2

(5)

where the temperature-dependent plasticity parameter τP is
evaluated at THOT. From linear curve-fitting of the τP data in
[20], the plasticity parameter is given as:
τP (psi) = τP ( T ) = 49,367 − 299 × T(o C )
(6)
Since point B is at the intersection of the plastic flow curve
(AB) and the stress reduction line (BC) on the hot side of
the cycle, the stress/strain solution at B is obtained from the
following two equations:
τ
γ B + B = γ MAX
(7a)
κ



τB
γB − γ A = 

 τP ( THOT ) 

2

(7b)

(4)
Step 2: during the dwell period at THOT, the solder joint
stress-relaxes from B to C. The stress reduction (τB to τC)

K is the assembly stiffness on a per joint basis. For
leadless components, K accounts for elastic
deformations (board/component stretching and bending)
Copyright EPSI Inc. ©1996-2000
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and creep strain (γC - γB) at THOT are obtained by integration
of the creep rate equation2:
o

γ CREEP = A( T)τn

(8)

where the stress exponent n and the temperature-dependent
factor A(T) are given in the next section. After
differentiating (3) with respect to time and substituting the
resulting strain rate into (8), the shear stress is found to
follow the following differential equation:
o

τ = −κA( T )τ n
(9)
For n not equal to 1, integration of (9) gives the following
equation for the stress τC at the end of the dwell period of
duration tD(HOT) :
τ −Cn+1 − τB− n+1 = (n − 1)κA( THOT )tD(HOT )
(10)
The end strain is then obtained by solving the stress
reduction line equation at point C for γC:
τ
γ C + C = γ MAX
(11)
κ
Step 3: when the thermal cycle is reversed (ramp-down),
unloading from C to D is on a straight vertical line, that is:

close to γA, then the loop has stabilized and is almost closed.
If the loop has not closed, Steps 1 to 5 are repeated with a
new starting value of the initial strain (for example, half-way
between γA and γF). Loop iterations are stopped when the
stress/strain cycle closes (Figure 3b) to within a specified
accuracy. The loop closure accuracy, %e, is defined as:
γ − γF
%e = A
(16)
γD − γ A
where |γA - γF| is the strain differential between the start and
end points of a loop iteration. The strain range, γD - γA,
gives the cyclic inelastic strain range (loop width) when the
loop closes.
Solder Constitutive Model and Creep Rate
Since solder properties are a function of microstructure and
can be affected by many parameters (e.g. cooling rate, aging,
intermetallics), there is no unique constitutive model for
solder joints. The constitutive model used in SRS is derived
from data and analysis by Knecht et al. [20], Shine et al.
[21], and Wong et al. [22]. The time-independent plasticity
model is from [20, 21] and the creep rate model is derived
from data in [22].
1E+07

γ D = γ C , τD = 0
(12)
Since solder joint elastic strains are, in general, much
smaller than plastic and creep strains, elastic unloading is
neglected here.

1E+06
1E+05

-2

ε'SS / D (cm )

1E+04

Step 4: upon further temperature ramp-down, stress builds
up in the opposite direction along the path of plastic flow
DE.
Following a procedure similar to Step 1, the
stress/strain components at E are obtained at the intersection
of the path DE and the stress reduction line at TCOLD. That
is, τE and γE are solutions of the following two equations:
τ
γE + E = 0
(13a)
κ



τE
γD − γE = 

 τP ( THOT ) 

2

(13b)

Step 5: during the cold dwell period of duration tD(COLD) on
the cold side of the cycle, stress is reduced from τE to τF
along the stress reduction line at TCOLD. Similar to creep
calculations in Step 2, the end stress τF is obtained from the
following equation:

τF

− n+1

− τE

− n+1

= (n − 1)κA( TCOLD )tD ( COLD )

(14)

The end strain γF is given by the stress reduction line
equation at point F:
τ
γF = − F
(15)
κ
Step 6: when temperature ramps up for the next cycle,
unloading is on a straight vertical line as in Step 3. If γF is
2

A circle above time-dependent variables denotes time derivatives.
Copyright EPSI Inc. ©1996-2000
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Figure 4: Steady state creep model [20] and data [18]
(SS = steady state; D = Arrhenius factor in [20]).
The lower and upper bounds of steady state solder creep
data compiled by Wong [22] are plotted in Figure 4. As
previously shown [17], the creep data measured by Shine et
al. [20] on actual solder joints fits within these bounds.
Wong’s creep rate equation is the sum of two creep rates,
one with a stress exponent of 3, the other with an exponent
of 7, as evidenced by the change of slope in Figure 3. SRS
uses the upper bound of Wong’s creep rates and truncates
his creep equation to the first term (stress exponent of 3) to
enable a fit to the creep rate equation (8). As shown by the
dashed line in Figure 4, using the upper bound of Wong’s
data maximizes creep rates in the low stress region and
provides an average fit in the knee region of the creep rate
plot. In the knee region, the dashed line is above Shine et
al.’s data [20]. These approximations are thought to be
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acceptable since, beyond the knee region, stresses are so
high that solder joint fatigue life is likely to be very short.
The creep rate equation in SRS is determined from the
equation of the dashed line in Figure 4, with normal stress
and strain (σ, ε) in Wong’s equations converted to shear

For LCCC assemblies, the spring constants are:
Etch cP
K1 =
LD (1− ν c )

K2 =

(τ, γ) through the transformations: ε = γ 3 , σ = τ 3 [23,
24]. Thus, the stress exponent and temperature-dependent
factor in the creep rate equation (8) are:

n=3
A( T )( sec

(17a)
−1

3

13

/ psi ) = 7.298 × 10

1

−

5412
T( o K )

e
(17b)
E3 ( T)
where E(T) is Young’s modulus of near-eutectic tin-lead
[22]:
E( T )(psi) = 145
. × 10 5 ( 32.0 − 0.088 T(o C))
(17c)
Note: temperature ramp-rates are not included in the
stress/strain analysis of the present version of SRS. This is
not a concern, in general, except for slow moving field
conditions with very slow ramps or very short dwells.
Ramp-rates in the tests that were used to establish the life
data correlation were typical of single or double chamber
air-to-air thermal cycling -- in the range 5 to 80°C/min -and this did not seem to have an effect on the SRS
correlation of life data. By not including creep during the
temperature ramps, the analysis underestimates the initial
inelastic strains but this leads to higher stresses building up,
which in turn leads to larger creep rates and creep strains
during the dwell periods. This is thought to be conservative
for making reliability predictions because the resulting
stress/strain hysteresis loop has, in general, a larger area
than when creep is included during the ramps. Ramp-rates
will be included in future refinements of SRS.
Stiffness Parameters
For single-sided leadless assemblies, the assembly stiffness
K is the equivalent stiffness of three springs in parallel:
1
1
1
1
=
+
+
(18)
K K1 K 2 K 3
where the spring constants are:

•
•
•

K1 for mechanical stretching of the component.
K2 for mechanical stretching of the substrate.
K3 for bending of the assembly.

For double-sided assemblies with identical components
mounted back-to-back, the substrate does not bend and the
assembly stiffness is given by:
1
1
2
=
+
(19)
K K1 K 2
Equations (18) and (19) are derived from existing assembly
stiffness formulations and mechanical analysis of LCCCs
and discrete assemblies [25, 26].
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2EbthbP
LD (1− νb )

K 3 = (D c + D b )

(20a)
(20b)

P

(20c)

LDH2

hc
h
+ hS + b , and Dc and Db are the component
2
2
and board flexural rigidities:
Efch3c
Efbh3b
Dc =
, Db =
.
(21)
12(1 − ν c )
6(1 − ν2b )
where H =

Subscripts i = “c” and “b” are for component and board
parameters, respectively. P is the assembly pitch, hc is the
component or LCCC floor thickness, hb is the board
thickness, νi‘s are Poisson’s ratios, Eit ‘s are Young’s moduli
in tension (superscript “t”) and Eif ‘s are Young’s moduli in
flexure (superscript “f”)3. Board and component flexural
rigidities are given as in Hall’s axisymmetric model of
LCCC assemblies [25] with the formulation for Db assuming
a substrate of infinite size. Interestingly, as the pitch is
reduced, K decreases.
The assembly becomes more
compliant because each joint then acts on a narrower slice of
the assembly.
For discrete assemblies, the spring constants are derived
from the chip resistor model by Jih et al.[26]:
Et h w
K1 = c c
(22a)
LD

K2 =

Ebthb w
LD

K 3 = (Ic + Ib )

(22b)

w

(22c)
LDH2
where w is the width of the discrete and Ic , Ib are given as:
Ef h3
Ef h3
Ic = c c , Ib = b b .
(23)
12
12
Stiffness parameters for other component types, e.g.: full
array PBGA and flip-chip with underfill, are discussed in the
MODEL VERIFICATION section of this paper.
Example
An example of assembly stiffness calculation is given for a
fine-pitch 84 I/O LCCC on a single-sided FR-4 board. The
design parameters are from [16, 25]:

•

Assembly: hS = 11 mil, P = 25 mil.

3

Accounting for differences in Young’s moduli in tension and flexure is
important for composite structures such as multi-layer organic boards.
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•
•

LCCC: Etc = Efc = 37 × 10 6 psi , νc = 0.3, LD = 0.367
in, hc = 20 mil.
Board: Ebt = Efb = 158
. × 10 6 psi , νb = 0.28, hb = 58
mil.

The calculated spring constants and assembly stiffness are:

(lb/in)

K1
72012

K2
13547

K3
2479

K
2036

The equivalent stiffness, K, is dominated by the bending
term K3 . The calculated stiffness (K = 2036 lb/in) is close
to experimental values given in the range 1.7 to 2.0 lb/mil
from strain-gauge measured hysteresis loops [16].
Local Mismatch Formulation
Solder Joint
Neutral Axis

αL
αS
αb
PWB

Figure 5: Local CTE mismatch tri-layer model.
Eutectic or near-eutectic tin-lead solder has higher thermal
expansivity (CTE: αS = 24 ppm/ºC) than most electronic
packaging materials. Local CTE mismatch between solder
and the interconnected parts of an assembly has been found
to be a reliability problem [1, 3, 27]. The present
formulation of local CTE mismatch is that of a simple trilayer model (Figure 5) where the expansivity of a soft
compliant layer of solder is restrained by the lower
expansivity of the substrate (CTE: αb) and that of the
attached component or lead (local CTE: αL). The local CTE
mismatch problem is assumed to be independent of the
global mismatch problem. In the simplified analysis below,
lateral expansion of the solder joint is the driving force and
only equivalent lateral strains are considered. The effect of
distributed shear strains, not included here, will be
considered in future improvements of the SRS model.

α L ∆T +

FL
= α S∆T + ε S,MECH
ELhL

(25a)

α b ∆T +

Fb
= α S∆T + ε S,MECH
Ebhb

(25b)

where E’s are Young’s moduli, α’s are CTEs, h’s are
thickness and εS,MECH is the mechanical strain in solder:
σ
ε S,MECH = εIN +
(26)
E( T )
The first term on the right hand side of (26) is the inelastic
component of strain, εin, and the second term is the elastic
strain. σ is the normal/lateral stress ( σ = FS hS ) and E(T)
is Young’s modulus of solder as given in (17c). The
solution to equations (24-26) gives:
 1
1
εIN + σ
+  = (αEFF − α S )∆T
(27)
 E( T ) κ L 
where the effective local CTE, αEFF, for the board and
component working together against solder is:
E h α + Ebhbα b
αEFF = L L L
(28)
ELhL + Ebhb
and the local stiffness parameter κL is:
h
h
κ L = EL L + Eb b
(29)
hS
hS
Equation (27) is that of stress reduction lines for the local
mismatch problem, similar to equation (3) for global
mismatch. The corresponding inelastic strain energy is the
area of hysteresis loops calculated with the same procedure
as for global mismatch hysteresis loops. Note that, from
equation (27), the slope of local mismatch stress reduction
lines has a slight temperature dependence.
MODEL VERIFICATION
Castellated LCCCs
The model was applied to 20, 28 and 68 I/O castellated
LCCCs on 0.062” FR-4 with life cycle data and failure
analysis in [28-30]. The experiments were part of a solder
joint modeling round-robin conducted by Jet Propulsion
Laboratory (JPL). Test conditions were those of NASA’s
thermal cycle test: -55ºC to 100ºC at a frequency of 6
cycles/day.
LCCC

h2

HEEL

Normal/lateral forces FL, FS and Fb per unit width of the
three layer model satisfy the equilibrium equation4:
FL + FS + Fb = 0
(24)
Strain compatibility gives:
4

Subscripts used are: “L” for component or lead parameters, “S” for solder
and “b” for the board or substrate.
Copyright EPSI Inc. ©1996-2000
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Figure 6: Castellated LCCC solder joint parameters.
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Solder joint life predictions were made by running the model
twice to determine two characteristic lives:
1.

2.

α1 for crack propagation along the thin solder layer
under the LCCC termination, using the joint parameters
h1 and A1 as input to the model.
α2 for crack propagation through the toe fillet, using the
fillet parameters h2 and A2 as input to the model.

The parameters h1, A1 and A2 are estimated from solder joint
cross sections and crack areas. h2 is an effective fillet height
parameter determined empirically as the height of the largest
right isosceles triangle that can fit in a cross-section of the
solder joint through the vertical center plane of the
castellation, typically with the hypotenuse tangent to the
fillet meniscus (see Figure 6). The latter rule of thumb, due
to Wen et al. [28-30], was implemented in JPL’s finite
element model [28] and gave LCCC joint life predictions in
excellent agreement with test results. The solder joint input
parameters, SRS life prediction results, and predicted crack
propagation rates are tabulated below:

assembly variability, simplifications inherent to the SRS
model, possible uncertainties in input parameters and
reduced confidence in the measured characteristic life due to
a smaller sample size: n = 8 components for the 20 I/O test
versus n = 31 and 15 for the 28 I/O and 68 I/O tests,
respectively. The tabulated crack growth rates are predicted
average crack propagation rates. The data suggests that
crack growth in the toe fillets is 5 to 15 times slower than in
the thin solder layer under the LCCC terminations, in
agreement with failure mode analysis results [28, 29].
Solder volume and fillet size effects may be significant for
other leadless assemblies with low stand-off height, for
example, passive devices (chip resistors and capacitors)
where the solder layer under the bottom side terminations
can be very thin. The techniques described above for
reliability modeling of castellated LCCC solder joints are
thought to apply to small discrete assemblies.
Alloy 42 and Copper TSOPs

1E+9

JONT CHARACTERISTIC LIFE SCALED
FOR CRACK AREA (CYCLES/IN2)

Castellated LCCCs (Figure 6) have a low stand-off height
(h1) and toe fillets that run up the castellations. JPL’s test
results and failure mode analysis indicate that the solder
volume and the toe fillet geometry have a significant impact
on fatigue life [28, 29]. Solder joint cracking initiates in the
heel fillet under the component and propagates under the
LCCC termination (crack area A1). Crack growth then
proceeds at a slower rate through the outer toe fillet, at close
to a 45º angle. Provided that solder volume is large enough,
a significant fraction of the fatigue life is spent propagating
cracks through the toe fillet (crack area A2).

k = 32
k = 16

COPPER
TSOP

1E+8

ALLOY 42
TSOP

1E+7

1E+6

SRS CORRELATION
BAND (19 TESTS)

FATIGUE LIVES (CYCLES)
αtest
TEST
PREDICTED (SRS)
α1
under component
α2
through fillet
TOTAL α = α 1 + α 2
ERROR

CRACK GROWTH RATES
(10-6 in2 / cycle)
under component A1 / α1
through fillet A2 / α2
Ratio
Parameters
-4
2
A1 (x 10 in )
h1
(mil)
A2 (x 10-4 in2)
h2
(mil)

28 I/O
690

20 I/O
678

41
56

78
590

119
358

Figure 7: Fit of 32 I/O TSOP test data to the SRS model.
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The SRS model was then applied to 32 I/O Type I TSOPs
with Alloy 42 or copper leadframes mounted on FR-4.
Model input parameters, except for the crack area but
including diagonal lead stiffness, were obtained from [31].
Thermal cycling test conditions were: 0ºC to 100ºC, 5
minute dwells. Since there was little solder under the foot of
leads, the solder crack area was taken as the heel crack area
alone from the point where cracks initiate in the heel fillet
down to the lead foot at the end of the bend (estimated as A
= 1.43x10-4 in2 from cross-sections of similar test vehicles in
[1]).

The 68 I/O LCCC test results were used for model
calibration (C = 1.03). Predicted life for the 28 I/O LCCCs
is in very good agreement with the measured characteristic
life (-3 % error). For the 20 I/O LCCCs, the life prediction
is slightly conservative (-30 % error) but still in good
agreement with test results. Sources of error include
Copyright EPSI Inc. ©1996-2000
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The fit of the TSOP test data to the SRS model is shown in
Figure 7. Since component failure statistics were given for
TSOP side separation, the two-parameter (2P) Weibull
characteristic lives (αCOMP = 1298 for Alloy 42, 6459 for
copper [31]) were converted to joint characteristic lives,
αJOINT , using the transformation [9]:
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α JOINT = α COMP × k1 β
(30)
where β is the shape parameter of the 2P Weibull
distribution of failures (β = 9.5 for the Alloy 42 group, 5.7
for the copper group in [31]) and k is the number of
component joints most susceptible to fail. We used k = 16
since the joints of a Type I TSOP fail by “zipper” effect
(side separation) within a narrow range of cycles. Figure 6
shows that the fit of the data to the SRS correlation band is
about the same if we use k = 32 to account for joints being
damaged on both sides of the component.
The data fits well within the original SRS correlation band.
From calculated strain energies, the ratio of predicted solder
joint fatigue lives for copper and Alloy 42 TSOPs is 5.2, in
agreement with a five times improvement reported in [31]
for copper versus Alloy 42 leadframes. These results are
specific to the components and test vehicles that were
thermal-cycled in [31] and attachment reliability needs to be
evaluated on a case-by-case basis for other TSOP
assemblies.
PBGA Assemblies
Figures 8 and 9 are schematics of a full array Plastic Ball
Grid Array (PBGA) assembly and the package multilayer
construction (six layers) in the die area. Joints under the
edge of the die fail first during thermal cycling and
parameters with the greatest impact on attachment reliability
are (see for example [2, 32-34]): pad diameter, laminate
thickness, die size and thickness, and solder joint height.
The application of SRS to full-array PBGA assemblies was
presented in [6, 35]. The equations to determine effective
package CTEs for global and local mismatch and assembly
stiffness parameters are given below and the validity of the
PBGA model is demonstrated with additional test data.

Figure 8: Schematic of full-array PBGA assembly.

die

die
attach

BT core
solder
mask

Figure 9: Schematic of multilayer construction in die area.
Since the solder joints under the edge of the die are the most
susceptible to failure, we need to determine package
equivalent properties (CTEs, Young’s moduli) in the die
area. These properties are then used in the LCCC assembly
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Effective CTEs of PBGA Packages
For global mismatch, the effective package CTE on the
bottom side of the package is obtained from thermal stress
analysis of the die area multilayer construction (Figure 9)
subject to a temperature swing ∆T. The effective package
CTE for the global mismatch problem is:
ε (bottom)
α G (PBGA ) = X
(31)
∆T
where εX(bottom), the total radial strain (mechanical +
thermal) on the bottom side of the PBGA - i.e., what the
solder joints see - is obtained by straight application of
Hall’s thermal stress model for axi-symmetric multilayer
stacks [36]. Hall’s model was selected because it accounts
for stretching and flexing of the multilayer stack, both of
which are important deformation modes during global
thermal expansion mismatch of PBGA assemblies [37]. The
input parameters required to calculate αG(PBGA) are
thickness, Young’s modulus, Poisson’s ratio and CTE of
each layer and material, i.e. a total of 4 parameters x 6 layers
= 24 parameters.
For local mismatch alone, flexing of the package is
insignificant and the effective package CTE, αL, is
approximated by a simple rule of mixtures:
6

αL =

∑

6

∑Eh

Eihiα i

i i

i= 1

(32)

i= 1

where hi is the thickness, and Ei and αi are Young’s modulus
and the CTE of the ith layer material. Layers of the
multilayer stack are numbered i = 1 to 6 starting at the
bottom of the stack but, for local mismatch calculations, the
first layer (solder mask) is replaced by a copper mounting
pad.
Effective Mechanical Properties of PBGA Packages
In order to use the LCCC assembly stiffness formulas
(equations 20a and c), we need to determine an effective
Poisson’s ratio (νc) and effective Young’s moduli of the
package in tension and flexure ( Etc , Efc ).
The effective Poisson’s ratio is obtained by a simple rule of
mixtures, a well accepted technique in mechanics of
composite materials [38]:

mold compound
Cu
flag

model where the LCCC package was assumed
homogeneous material.

6

υc =

∑

6

υihi

i= 1

∑h

i

(33)

i= 1

For the global mismatch problem, the effective Young’s
moduli of the package are obtained by using the additivity
property of the stretching and bending rigidities of
individual layers of the multi-layer stack [39]:

Ecthc
=
1 − υc

6

Eihi

∑ 1− υ
i =1

(34)

i
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6

∑
i=1

12000

Eihi3
12(1 − υi )

(35)

For the local mismatch problem, the effective Young’s
modulus of the package, EL, is obtained by a simple rule of
mixtures:
6

EL =

6

∑ Eh ∑ h
i i

(36)

i

i=1

i= 1

where the first layer of the stack (i = 1) is the attachment
copper pad.
PBGA Results
Reference [6] includes detailed applications of the PBGA
model that need not be repeated here. The SRS model was
validated with five PBGA accelerated tests and it was shown
that SRS accurately captures the effects of pad diameter, die
thickness, BT thickness and stand-off height [6]. The fit of
additional test data to the SRS model is shown below
(Figures 10 and 11).
The PBGA model was applied to nine 225 I/O PBGA
datasets from design-of-experiments reported in [32-35].
Design variables included stand-off height, die size and
thickness, BT thickness, die attach modulus and pad size.
As shown in Figure 10, the nine datasets fit within the SRS
correlation band. Data points shown as circles are from
[32], those shown as triangles are from [33, 35]. For the
conversion of component characteristic lives to joint
characteristic lives (equation (30)), we used k = 24,
assuming that the 24 joints in the row under the edge of the
die are as likely to fail as the highly stressed “corner” joints
under the die corners.

JOINT CHARACTERISTIC LIFE SCALED
FOR CRACK AREA (CYCLES/IN2)

1E+9

1E+8

1E+6

SRS MODEL CORRELATION
BAND (19 TESTS)

1E+5
1

10

10000
∆ = +0.9%

30 MIL PADS, β = 6
8000

∆ = +4.7%

∆ = -2.6%

6000
25 MIL PADS, β = 10

∆ = 0.9%
4000

2000
C = 0.9
0
18

19

20

21

22

23

24

25

26

27

28

29

STAND-OFF HEIGHT (MIL)

Figure 11: PBGA stand-off height effects.
Figure 11 shows the effect of stand-off height on solder joint
characteristic lives (on a per component basis). Solid lines
are model predictions, dashed lines are measured
characteristic lives [33]. For each pad size (25 and 30 mil
diameters), solder volume was kept constant and the PBGA
stand-off height was increased by a double-reflow process
[33]. The model fits the test data with less than 5% errors.
The measured and predicted life improvements are much
less than would be predicted by Coffin-Manson type
relationships due to local mismatch contributions to solder
joint fatigue. Similar conclusions were reached in [5, 32].
The full-array PBGA model can easily be extended to
perimeter-array PBGAs. Solder joints in the row closest to
the die are still expected to fail first but fatigue lives will
improve because of reduced damage due to local mismatch.
This effect is apparent in equation (32) where the local
mismatch effective CTE, αL, will increase away from the
die, thanks to an increased contribution from the molding
compound CTE.

100

1000

Micro-BGAs

INELASTIC STRAIN ENERGY (PSI)

Figure 10: Fit of 225 I/O PBGA data to the SRS model.
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CHIP SCALE PACKAGE APPLICATIONS
The SRS model has been extended to micro-BGAs and flipchip with underfill assemblies [8, 40]. An overview of the
mechanical models that were developed for these two
technologies is given below. The micro-BGA results are in
agreement with conclusions drawn from finite element
studies. Predicted shear strains in the flip-chip underfill
layer agree with strains derived from moiré field
displacements.

1E+7

0.1

CHARACTERISTIC LIFE (CYCLES)

Efch3c
=
12(1 − υ c )
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Figure 12: Schematic of micro-BGA package model.
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Figure 13: Internal stresses in micro-BGA package.
Figure 12 is a schematic of a micro-BGA package, where a
low modulus compliant elastomer layer provides for
decoupling between the silicon die and the package substrate
(metal layers + dielectric). During thermal cycling, the
compliant elastomer layer, with Young’s modulus of a few
hundred psi, is essentially in shear. Shear is driven by the
CTE mismatch between the die and the package substrate, as
well as external forces and moments that the solder joints
exert on the package. Figure 13 shows the shear stress
distribution, τ(x), in the elastomer layer, forces and moments
exerted by the solder joints (Fjoint, Mjoint) and internal forces
and moments (Pi(x), Mi(x)) in a vertical cross-section of the
package. Stresses and strains in the micro-BGA package
are solved for by using existing theories of multilayer stacks
and adhesive bonds. Details of the micro-BGA model are
presented in [40]. The effective package CTE that is seen
by the solder joints is derived from calculated strains on the
bottom side of the package. For assembly stiffness
calculations, the stretching and bending stiffness of the
package are obtained as functions of chip size, geometry and
material properties of the different layers of the package.
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Figure 14: Micro-BGA effective CTE and assembly stiffness
as a function of elastomer layer thickness.
The micro-BGA model was applied to a generic micro-BGA
mounted on a 0.062” FR-4 board and with a 15 mil thick
die. Material properties that were used are from [41].
Figure 14 shows the effective package CTE and assembly
stiffness as a function of thickness of the compliant
elastomer layer. The effective package CTE increases and
the assembly stiffness decreases as the elastomer thickness
increases. The elastomer layer has to be thick enough to
provide an effective package CTE that is close to the CTE
of FR-4 boards. For a thickness of 6 mil, the effective CTE
is in the range 15.7 ppm/C (10 mm die) to 14.5 ppm/C (15
mm die). Beyond 6 mils, incremental gains in effective CTE
and assembly compliance are limited. Nevertheless, with a
minimum thickness of the compliant elastomer, the packageto-board CTE mismatch and the assembly stiffness are
greatly reduced when compared to the situation of bare
chips on FR-4.
Results of the above parametric study are in agreement with
the conclusions of finite element studies in [41] and suggest
that the micro-BGA model quantifies the chip-to-board
decoupling well. As with PBGAs, there is a chip size effect,
the impact of which, as well as other parameters, have to be
evaluated on a case-by case basis. Further verification of
the micro-BGA model will be conducted as assembly
reliability data becomes available.
Flip-Chip with Underfill
The solder joint life improvement mechanism in flip-chip
assemblies is easily conceptualized. Since the in-plane
thermal expansion mismatch between die and substrate is
taken up by shear of the solder joints and of the underfill
layer, the solder joints see lesser strains than in bare chip
assemblies. To a first order, mechanical coupling between
the die and substrate is controlled by the shear stiffness of
the underfill layer. Thus, a higher modulus underfill
material provides for improved coupling and reduced shear
SMI'96 Paper - Page 10
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strains on the solder joints. The model that was developed
for flip-chip with underfill [8] assumes that the CTE of the
underfill material is close to that of solder (as is the case in
most underfill assemblies) so the joints are not stretched in
the out-of-plane direction.

MC+FhC/2

τ(x)

Solder Joint
MC
F

τ(x)

MB

neutral axis

chip

F

underfill

board

F

F

MB+FhB/2

Figure 15: Interfacial shear stresses at die/underfill and
substrate/underfill interfaces.
Figure 15 shows the assumed distribution of shear stresses,
τ(x), at the underfill/die and underfill/substrate interfaces, as
well as the shear forces and bending moments (F, M’s)
exerted by solder joints on the die and substrate. The
solution of the strength of materials problem depicted in
Figure 15 is obtained by combining Hall’s model of LCCC
assemblies [25] and Suhir’s theory of multilayer stacks and
adhesive bonds [42].
The interfacial shear stress
distribution in the underfill layer is found to follow a
hyperbolic sine. The solder joint shear strain and shear
force are found to obey the following stress reduction line
equation:
F
1
h Sγ +
= LD ∆α G ∆T
(37)
KU R
where:

•
•

KU is the assembly stiffness of the assembly with
underfill.
R is a strain or CTE mismatch reduction factor.

KU and R depend on the thickness and material properties of
each layer of the tri-layer stack model, as well as assembly
pitch and chip size. As shown in [8], when the modulus of
the underfill material goes to zero, KU converges to the
assembly stiffness for an assembly without underfill
(equations (18) and (20a-c)) and the strain reduction factor
R goes to 1. KU is larger than the assembly stiffness K for
an assembly without underfill because mechanical coupling
provided by the underfill layer stiffens the assembly.
Fortunately, this decrease in compliance is offset by a large
reduction in the applied strain (R >> 1, in general, with
adequate selection of the underfill modulus).
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Figure 16: Solder joint isothermal stress reduction lines for
assemblies with and without underfill.
The assembly stiffness, KU, the effective global CTE
mismatch ∆αG/R and the stress reduction line equation (37)
are used to generate solder joint hysteresis loops. Figure 16
is a schematic of isothermal stress reduction lines in the
force versus strain plane. For assemblies without underfill,
L ∆α ∆T
the maximum applied strain is γ max = D G
, the
hS
maximum applied force is proportional to K∆αG, and the
strain energy, or area of the triangle under the stress
2
reduction line, goes as K(∆αG) . For the same assembly
with underfill, the maximum effective strain that is seen by
the solder joints is γ max R , the maximum shear force goes
as K U∆α G R (which is less than K∆α, in general), and the
strain energy goes as K U ( ∆α G R)2 . Using a strain energy
criterion for solder fatigue, the mechanics of solder joints
suggest a potentially significant improvement in fatigue life
for assemblies with underfill compared to assemblies
without underfill.
Application and Verification of the Underfill Model
The underfill model was applied to a silicon on ceramic test
vehicle for which moiré displacements fields were measured
by B. Han et al. [43]. Young’s modulus for the underfill
material (EU) was not known so the model was run for EU in
a range typical of existing materials (EU = 0.9, 1.4 and 2.0
Mpsi). Thermal loading was ∆T = -80ºC from 102ºC to
room temperature.
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Figure 17: Shear strain distribution in underfill layer of
silicon-on-ceramic test vehicle (∆T = -80ºC).
The predicted shear strain distribution in the underfill layer,
from the center to the edge of the chip, is plotted in Figure
17. Average shear strains from moiré measurements are
shown as triangles. The trend of predicted strains agrees
with the data. In the high strain region towards the edge of
the chip, the model fits best for EU = 1.4 Mpsi. Sources of
discrepancy include simplifications inherent to the strength
of materials approach, uncertainties in material properties,
the possible temperature dependence of underfill properties,
and the absence of end fillet effects in the model. The
resolution of measured displacements (U and V fields in the
horizontal (X) and vertical (Z) directions, respectively) and
the approximation of the V-displacement cross-derivative
∂V
as:
≈ 0 to obtain average shear strains in the thin
∂X
underfill layer may also contribute to the discrepancy,
especially in the low strain region. The agreement between
predictions and experiment is good and gives support to use
of the model for further analysis and parametric studies [8].
The strain reduction factor, R, and the resulting effective
CTE mismatches, ∆α/R, are tabulated below for the three
assumed values of EU:
EU (Mpsi)
0.9
1.4
2.0

R
5.04
6.64
8.42

∆α/R (ppm/ºC)
0.83
0.63
0.50

As EU increases, the underfill layer provides increased
coupling between the chip and substrate and the strain
reduction factor increases from 5.04 to 8.42. The solder
joints see an effective CTE mismatch under 1 ppm/ºC, over
four times less than the CTE-mismatch of the assembly
without underfill, ∆αG = 4.2 ppm/ºC (for silicon on
alumina). Other applications of the underfill model and
parametric studies are given in [8], including chip size
effects and the relation between maximum interfacial
stresses in the underfill layer and delamination failures.

Input Parameters
Accurate acquisition, reporting and saving of assembly
reliability data (geometric parameters, material properties,
test results) is essential for the interpretation of test results
and for field reliability assessment. Handbook values can be
used for standard material properties (e.g.: silicon).
Measurements are necessary for product specific materials
and constructions (e.g. in-plane expansivities of organic
boards or component CTEs). This makes data gathering a
significant part of the reliability evaluation process. Model
development and interpretation of published reliability data
have suffered from a lack of standardized formatting of test
information as accelerated test results are reported with
varying degrees of completeness.
Sometimes, test
information and material properties are available by direct
communication with authors of reliability reports and
material suppliers. In other cases, the information is
unavailable because of the purpose of the experiment (e.g.:
A to B comparison) or the proprietary nature of the data.
The SRS design-for-reliability tool includes a standard PCbased filing system for electronic saving of input data and
analysis results. Such a system enables the easy exchange of
project information for reliability assessment under a variety
of application-specific use conditions. The file-keeper(s) of
an organization can build-up and maintain a library of
assembly reliability data for reference or use in future
applications. This aspect of assembly reliability programs
is important as evidenced by the development of in-house
databases for model development and verification [2, 3, 7, 9,
28].
Input parameters for reliability evaluation using SRS and
assembly stiffness models are listed below. Component
mechanical drawings, solder joint cross-sections are
essential information as well. Lead geometry and material
properties are needed for leaded assemblies stiffness
calculations. Also needed for PBGA analysis are the
material properties and thickness of internal layers, plus pad
thickness and properties for the attachment copper pads.

•

Component data:
◊ Distance to Neutral Point (in)
◊ Component thickness (in)
◊ Effective in-plane component CTE (/ºC)
◊ Effective Young’s modulus in tension (psi) (for
global mismatch)
◊ Effective Young’s modulus in flexure (psi) (for
global mismatch)
◊ Thickness of lead or component at solder joint
(in)
◊ Effective CTE of lead or component at solder
joint (/ºC) (for local mismatch)
◊ Effective Young's modulus of lead material or
component (psi) (for local mismatch)

MODEL IMPLEMENTATION
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•

•

•

•

Substrate data:
◊ Effective in-plane CTE in diagonal direction of
component (/ºC) (determined from X and Y inplane CTEs and component aspect ratio)
◊ Effective Young's modulus (psi) in tension
◊ Effective Young's modulus (psi) in flexure
◊ Thickness
Assembly data:
◊ Assembly stiffness (lb/in)
(diagonal lead stiffness for leaded assemblies or
combined stretching and bending stiffness of
parts for leadless assemblies)
◊ Solder joint effective thickness or component
stand-off (in) (half the solder paste thickness for
leaded assemblies)
◊ Solder joint load bearing area / crack area (in2)
Reliability parameters:
◊ Number of susceptible I/Os
◊ Slope of 2P Weibull distribution
◊ Ratio of failure free time to characteristic life for
3P Weibull analysis.
◊ Intended design life (years)
Thermal conditions (for multiple thermal loads):
THOT TCOLD Hot
(°C) (°C) Dwell
(min.)

Cold
dwell
(min.)

Fixed Frequency
cycle of variable
count
cycles
(cycles) (cycles/day)

Cond. 1
Cond. 2
etc...
Note: fixed cycles are cycles that occur at the beginning of
the product life (e.g.: EST, shipping, storage...). Variable
cycles occur throughout the product life at an estimated
frequency in cycles/day (e.g.: season-dependent
environmental cycles for outdoor equipment; usage
cycles: on/off cycles, mini-cycles, etc...).
Life Predictions
Life predictions for a product application with multiple
thermal conditions are derived from Miner’s rule [44]. The
applicability of Miner’s rule to solder joint thermal fatigue
has been demonstrated by R. Darveaux [45] using TSOP
accelerated test results. Miner’s rule, whose theoretical
basis is that cyclic strain energy accumulates in metals up to
a critical value when failure occurs, is consistent with
energy-based solder joint fatigue models.
Using 2P Weibull failure statistics for the distribution of
solder joint failures, the number of years in the field,
NYEARS, when a fraction F of the component population has
failed is obtained by setting Miner’s cumulative damage
equal to 1 and solving equation (38) for NYEARS:
Copyright EPSI Inc. ©1996-2000

n2
fB
 n1

 fA

 N (F ) + N (F ) +... + 365.25 ⋅ NYEARS  N (F ) + N (F ) +... = 1
 A

 1

2
B

(38)
where:
• ni is the number of accumulated cycles for one time
occurrence, “fixed” thermal loads (index i = 1, 2...),
e.g.: EST, shipping, storage cycles.
• fi is the daily cyclic frequency (in cycles/day) for
“variable” thermal loads (index i = A, B...) that occur
throughout the product life.
• Ni(F) are cycles to a fraction failed of F for each
thermal condition i = 1,2... and i = A, B... For each
individual thermal load, Ni(F) is obtained as:

[

Ni (F) = α i − ln(1 − F )

1β

]

(39)

where αi, the component characteristic life for
condition i, is calculated by the SRS model.
Inversely, equations (38) and (39) can be solved for F to
determine the fraction failed at a given number of years in
the field.
Using three-parameter (3P) Weibull failure statistics [9], the
number of failure-free years in the field is obtained by
solving Miner’s rule equation for N0,YEARS:

 n1

 f
n
f
+ 2 +... + 365.25 ⋅ N0,YEARS  A + B +... = 1

 N0,1 N0,2

 N0,A N0,B

(40)
where N0,i are failure free cycles for each thermal condition i
= 1,2... and i = A, B... At the present time, the SRS model
does not have a correlation of failure-free time test data
available to predict the N0,i‘s directly. Instead, the PCbased design-for-reliability tool uses a parameter “r” defined
as the ratio of failure free time to characteristic life to
predict failure free times from the correlation of
characteristic lives. When test data are available, the
parameter r can be adjusted so the failure free time
prediction matches the failure-free time from 3P Weibull
analysis of test failures. The parameter r has been observed
in the range 0.21 to 0.73 [2, 9] and an average value of 0.5
is used in Darveaux’s model [2].

Design-For-Reliability Tool / Performance Evaluation
The SRS model has been implemented as a PC-based
design-for-reliability tool which streamlines the assembly
reliability assessment process. The tool consists of:

•

A pre-processor for input of component, substrate,
assembly, thermal profiles, design life and statistical
parameters, and component-specific stiffness and CTE
calculations.
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•
•

An analysis module to compute hysteresis loops.
A post-processor to examine stress/strain plots and life
prediction results.

Once geometric parameters and material properties have
been gathered, data input takes a few minutes and hysteresis
loop computations take seconds on a low-end personal
computer. The classical mechanics approach in SRS offers
significant savings in CPU time over finite-element models
with run times of one to twenty four hours per thermal
condition on workstations.
The finite element method remains a powerful tool in the
hands of analysts with expertise in the use of high-end nonlinear FEA codes, mesh size and time-step definition, stress
singularity and numerical convergence problems. In a
recent study, R. Darveaux [5] reported differences of two to
three times in the scaling constants of crack initiation and
crack propagation correlations when using 0.3 mil or 2.0 mil
element sizes. Other recommendations for FEA modeling of
solder joints [5] included using elements of consistent size
across a database of assembly models, and volumeaveraging of strain energy results for interface elements as
opposed to using singularity-sensitive nodal values at edges
of solder joints.
The SRS model does not have the geometric detailing
capabilities of finite-element models. However, the model is
thought to be conceptually clear and is intended to capture
main effects. Its validation by a wide range of accelerated
tests and strain measurement techniques, and its
implementation on low end personal computers make it a
practical, fast turnaround design tool.
CONCLUSIONS
A solder joint fatigue model, SRS, has been developed using
the classical engineering mechanics approach to capture the
main effects of solder joint deformations and joint
interaction with the attached component and substrate. The
model has been validated by thirty three accelerated tests
and several strain measurement experiments. SRS has been
implemented as a PC-based design-for-reliability tool that
applies to the grand families of surface mount components
from LCCCs to leaded assemblies, area-array and emerging
chip-scale packages. Model improvements and extension to
new technologies are underway and will be reported in
future publications.
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